
1

Current-Sensorless Robust Sliding Mode Control
for the Interleaved DC-DC Boost Converter

Said Oucheriah (soucheria@niu.edu).
Department of Engineering Technology Northern Illinois University, Illinois, USA.

.

Abstract—A current-sensorless, PWM-based robust sliding
mode control strategy for the interleaved DC-DC boost con-
verter is proposed that eliminates the need for leg or input
current sensors and requires only output-voltage measurement.
The proposed extended state estimator maps the multi-phase
converter to a mono-phase equivalent, successfully absorbing
structural phase asymmetries and parasitic variations into a
single lumped uncertainty term. This observer simultaneously
estimates the derivative of the output voltage alongside the
composite lumped uncertainty, which includes inductor parasitic
resistances, parameter variations, input voltage and load changes.
A systematic parameter-tuning procedure based on estimator
pole placement and open-loop bandwidth guidelines guarantees a
critically damped dominant estimation response. Comprehensive
multi-case simulations validate the closed-loop system under
parametric uncertainties and parasitics, severe unbalanced op-
erating conditions of the two phases, load resistance and input
voltage changes and high-frequency noise injection.

Keywords: Robust sliding mode control, interleaved DC-
DC boost converter, current-sensorless control, extended state
estimator.

I. INTRODUCTION

DC-DC converters are subjected to external disturbances,
parameter uncertainties, and parasitics that must be taken into
account in the design of robust controllers to tightly track
the output reference voltage and seek a reduction in the
number of sensors needed for their implementation. PWM-
sliding mode control (SMC) in conjunction with disturbance
estimators is a powerful nonlinear control strategy that can
be used. However, in many cases, the designed controllers
require knowledge of the inductor current. Its measurement
can present challenges in the presence of external disturbances
and high-frequency noise that can be amplified, leading to
chattering in the control signal. This has led to the use of
current sensor-free controllers, which offer a reduction in cost
and an improvement in the reliability and miniaturization of
the device.

In the context of DC-DC boost converters [1-7], the design
of robust current sensor-free controllers is a challenging task
since the boost converter is a nonminimum phase system.
While many of these approaches effectively address the issue
of output voltage regulation of DC-DC boost converters,
they often have limitations. Some control laws proposed are
complicated and computationally intensive to render them
impractical in real applications. They may also involve many
design parameters that require very laborious parameter tun-
ing, with some lacking rigorous stability analysis of the closed-

loop systems. Lastly, with few exceptions, robustness tests to
parameter uncertainties and parasitics of the converter are not
analyzed and ignored in simulations and may lead to sub-
stantial steady-state errors in the output response. To address
these problems, an extended state estimator was previously
developed by the author in [8] for the single-phase topology.
This paper expands upon that foundational framework to solve
the unique challenges of multi-phase configurations.

Recently, there is a great interest in interleaved boost
converter (IBC) topology, which is being rapidly adopted in re-
newable energy systems, electric vehicles, and battery charging
systems. They are characterized by multiple parallel-connected
boost converter stages and offer many advantages over the
classical boost converter. These are a reduction in thermal and
electrical component stress due to current-sharing capability,
an increase in efficiency and power handling capability and
a reduction in passive component sizes as compared to the
traditional single phase converter.

In [9], a nonlinear disturbance observer (NDO)-based
sliding-mode control algorithm is proposed to estimate two
lumped disturbances whose derivatives in the limit are as-
sumed zero. The implementation requires the output voltage,
the input current and input voltage measurements. In [10],
a super-twisting sliding mode control law is proposed for
interleaved dc-dc boost converter for fuel cell application
based on the double-loop control structure containing two
inductor current inner-loops and an output voltage outer-loop.
An extended-state-observer (ESO) is used to estimate the
total disturbance that comprises the unknown load power and
parametric variations. The implementation of the controller
requires an inductor current sensor for each phase and the
measurements of the input and output voltages. In [11], a
robust model predictive control is proposed to regulate the
output voltage of a DC-DC floating interleaved boost con-
verter (FIBC) in the presence of parametric uncertainties. The
controller is also able to handle input-output constraints. The
proposed control algorithm requires extensive computations
solving online min-max optimization problems which makes
it of little practical interest and unsuitable for systems with low
processing capabilities. Also, it needs a sensor to measure the
inductor current.

The study in [12] considers an interleaved DC/DC boost
converter supplying a DC-bus with generally unknown loads
connected to it. An observer based adaptive controller using
the immersion and invariance observer with an energy shaping
plus damping injection passivity based controller is proposed.
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However, the controller requires the measurement of each
leg inductor current to ensure equal leg currents. In [13], a
controller that is composed of an inner voltage PI loop and
an outer voltage PI loop is proposed for the interleaved boost
converter. The implementation of the controller requires one
input current sensor and one voltage sensor.

In [14] and [17] a robust sliding mode nonlinear controller
is designed for an interleaved boost converter based on an
extended linearization and active compensation of the lumped
disturbance estimated by a linear extended state observer.
Simulation and experimental results show that the proposed
controller is robust against parameter uncertainties and exter-
nal disturbances. However, an input current sensor is required
for the implementation of the controller.

In [15], a nonlinear fast terminal sliding mode control and
a state and disturbance estimation algorithm to estimate the
inductor current and a lumped disturbance that includes the
load resistance for a two-phase interleaved boost converter
is proposed. The stability of the observer is analyzed using
Kharitonovs stability criteria. However, the implementation of
the controller requires the measurement of the input voltage.
In [16], an integral sliding mode controller for the control
of a 2PIBC converter is proposed. A lumped disturbance
that comprises parameter uncertainties, input voltage and
load resistance is estimated using a disturbance observer. The
implementation of the controller requires the measurement of
the input current.

To address these limitations, this paper proposes a novel
current-sensorless robust controller. The main contributions are
summarized as follows:

1) Single-Sensor Implementation: The proposed control
implementation requires only the measurement of the output
voltage, completely eliminating the need for input or leg
current sensors in an interleaved configuration.

2) Asymmetry-Compensated State Estimator: A unique
mathematical mapping reduces the multi-phase plant to an
equivalent mono-phase structure without assuming matched
leg parameters. Consequently, any physical phase asymmetries
(L1 ̸= L2, RL1 ̸= RL2), circuit imbalances, and structural
non-idealities are explicitly captured and actively compensated
for by a single lumped uncertainty estimator.

3) Deterministic Parameter Tuning: An analytical, step-by-
step gain selection methodology is established based on open-
loop bandwidth boundaries, eliminating empirical trial-and-
error while mathematically guaranteeing a critically damped
estimation response.

4) Robustness Evaluation under Non-Ideal Conditions: The
robustness, chattering suppression, and dynamic regulation
capabilities of the closed-loop system are thoroughly verified
under severe non-ideal operations, including parameter
mismatches, high-frequency noise, and time-varying loads.

The remainder of this paper is organized as follows. Section
II details the mathematical modeling, the detailed design of the
extended state estimator, the sliding mode controller synthesis,
and the closed-loop stability analysis. Section III presents
the multi-case simulation validation results under noise and

parameter uncertainties. Finally, Section IV concludes the
paper.

II. ROBUST SLIDING MODE CONTROL DESIGN

A. Two-phase interleaved boost converter averaged model

A basic two-phase interleaved boost converter averaged
model is shown in Figure 1. Under continuous conduction

Fig. 1. Circuit diagram of the two-phase interleaved boost converter.

mode, the averaged model is:
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where iL1 and iL2 represent the average inductor currents
through inductors L1 and L2, respectively, vc is the output
voltage across the capacitor C. The unknown parameters E
and R represent the input voltage and the load resistance,
respectively. However, their respective nominal values Eo

and Ro are assumed known for the implementation of the
controller. The control input u to the converter is the duty
ratio function and us is the same duty ratio as u but staggered
in phase by an angle of 180o.

System (1) can be written as:
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where Lo and Co are nominal values.
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This yields the equivalent mono-phase boost converter
model described by the following equations:
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where iL = iL1
+ iL2

, d4 = d1 + d2 and Eo, Lo and Co

are the known nominal values of the input voltage E, the leg
inductances L1o =L2o = Lo, and the capacitor C, respectively.
In addition to the inductor parasitics, other parasitics such as
the MOSFET on-resistance, the diode forward resistance, the
conducting voltage of the diode and the capacitor equivalent
series resistance could have easily been lumped in the distur-
bance signal d(t).
It is worth noting that the formulated lumped disturbance d4
directly encapsulates the structural variations, parasitic devia-
tions, and parameter mismatches between the interleaved legs.
By mapping these asymmetries into a unified disturbance term,
the requirement for identical phase dynamics (L1 = L2 and
RL1 = RL2) is entirely eliminated, allowing the controller to
maintain robust regulation despite severe physical imbalances.

Taking the derivative of both sides of the second equation of
(4) and using the expression for i̇L given by the first equation
of (4) yields

v̈c =
u

LoCo
[4vc − 2Eo] + d (5)

where

d = − 2vc
LoCo

(1 + u2) +
2Eo

LoCo
+
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Co
d4 + ḋ3 − u̇

iL
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(6)

Let
e2 = vc − Vref

e1 = ė2
(7)

Using the substitution vc = e2 + Vref and v̈c = ė1 into (5)
yields

ė1 =
u

LoCo

[
4(e2 + Vref )− 2Eo

]
+ d

ė2 = e1

(8)

B. Design of the extended state estimator

By using the lumped uncertainty d given by (6) as a state
variable, the extended state estimator for the system (8) is

q̇1 =
u

LoCo

[
4(e2 + Vref )− 2Eo

]
+q3 +K3e2 −K1q1 −K2

1e2

q̇2 = q1 +K1e2 +K2q̃2

q̇3 = −K3q1 −K1K3e2

(9)

The states ê1, ê2 and d̂ are the estimates of e1, e2 and d
respectively and are given by:

ê1 = q1 +K1e2, ê2 = q2, d̂ = q3 +K3e2 (10)

with q̃2 = e2 − ê2. The parameters K1,K2 and K3 are the
estimator gains. Using (8), (9) and (10), the dynamics of the
state errors are

˙̃e1 = −K1ẽ1 + d̃
˙̃e2 = ẽ1 −K2ẽ2
˙̃
d = −K3ẽ1 + ḋ

(11)

with ẽ1 = e1 − ê1, ẽ2 = e2 − ê2 and d̃ = d− d̂. System (11)
can be written in compact form as

˙̃e = Aẽ+Bḋ (12)

where ẽ = [ẽ1, ẽ2, d̃]T and

A =

 −K1 0 1
1 −K2 0

−K3 0 0

 , B =

 0
0
1

 (13)

Assumption 1: We assume that for any bounded time-varying
lumped disturbance d we have

δ = sup
t∈[0 ∞)

∥ḋ∥ < ∞ (14)

This assumption applies to the averaged model where
it is reasonable to assume that the states and parameter
uncertainties are bounded and sufficiently smooth. For the
switched model, the controller uses the estimated disturbance
rather than the instantaneous switching-ripple-contaminated
one. The estimator behaves like a low-pass observer: it tracks
the average or low-frequency component of the lumped
disturbance and rejects much of the high-frequency switching
ripple. Therefore, accurate point-by-point estimation of the
switched signal is not required for good voltage regulation.

The eigenvalues of the system matrix A are determined from
the characteristic equation

s3 + (K1 +K2) s
2 +

(
K1K2 +K3

)
s

+K2K3 = 0
(15)

Remark 1: For any K1 > 0,K2 > 0 and K3 > 0, the
poles are on the left-half side of the complex plane with
the matrix A being Hurwitz. The extended state estimator’s
dynamic response depends entirely on the choice of the tuning
gains. To ensure a critically damped dominant estimation
response without any unwanted oscillation, the estimator gains
are selected as

K3 =
K2

1

4
, K2 = 5

√
K3 (16)

In this case, the estimation error dynamics feature two identical
real dominant poles at −K1/2 and a third non-dominant pole
at −5K1/2, which sits exactly five times further to the left
in the complex plane. The state errors are strictly and tightly
bounded by

lim supt→∞ |ẽ1(t)| ≤
δ

K3
, lim supt→∞ |ẽ2(t)| ≤

δ

K2K3

lim supt→∞ |d̃(t)| ≤ δK1

K3
(17)

Remark 2: If limt→∞ ḋ(t) = 0, then all states will asymp-
totically decay to zero as time goes to infinity and we have

lim
t→∞

ẽ1 = 0, lim
t→∞

ẽ2 = 0, lim
t→∞

d̃ = 0 (18)

Since K3 is typically a very high gain, the ultimate estimator-
error bounds are usually small and approach uniformly 0 in
t ∈ [0 ∞) as K3 → ∞.
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C. Design of the controller and stability analysis

We consider the following sliding surface

σ = ê1 + γê2 −K1e2 = q1 + γq2 (19)

where we have used ê1 = q1 +K1e2 and q2 = ê2 and γ > 0
is a design parameter. We consider the following controller:

u = α (K1 − γ) q1 − αq3
+α

(
−K3 +K2

1 − γK1

)
e2 − αK2γq̃2 − αK4σ

(20)

where
α =

LoCo

[4(e2 + Vref )− 2Eo]
(21)

Using (19), the controller (20) is derived by differentiating σ
with respect to time and setting σ̇ = 0. The last term αK4σ
is added for manifold-restoring action as explained below in
the sequel.

The substitution of the controller u into the derivative of
(19) leads to

σ̇ = −K4σ (22)

and therefore we have σ̇σ = −K4σ
2 < 0 which ensures the

sliding mode condition. Equation (22) admits as a solution

σ(t) = σ(0)e−K4t (23)

Using the initial conditions q1(0) = 0, q2(0) = 0 for the
extended state estimator (9), yields σ(0) = 0 and in this case
σ(t) = 0 for all t ≥ 0. Hence, the closed-loop trajectory
begins on the sliding manifold and remains invariant on it,
eliminating the reaching phase.
Although the ideal averaged model remains exactly on the
manifold when σ(0) = 0, a positive K4 is still needed
for the switched model. Reference changes accompanied by
PWM effects, duty-ratio saturation, and measurement noise
can temporarily cause σ(td) ̸= 0 where td is the onset of a
disturbance or a reference change. In this case we have

σ(t) = σ(td)e
−K4(t−td), t ≥ td (24)

The gain K4 provides manifold-restoring action. For the
choice of the gain K4, there is a trade-off between a large
value for a fast recovery with possible aggressive duty ration
behavior, or a small value to smooth the transient control
effort and prevent aggressive chattering during sudden voltage
reference steps.

Assumption 2: Upon powering up the boost converter and
before the activation of the controller, the output voltage
naturally satisfies vc(t) ≥ Eo − VD > Eo

2 where VD is the
forward voltage drop of the diodes. This initial voltage is
established via passive pre-charging as current flows from
the input voltage directly through the inductor and the boost
diode. Consequently, the denominator term (4vc − 2Eo) in
(21) is strictly bounded away from zero, eliminating the
mathematical singularity in the parameter α. Furthermore, it is
assumed that external system disturbances remain sufficiently
small such that the resulting control effort in (20) satisfies the
physical constraints 0 < u(t) < 1 without hitting saturation
limits.

Theorem 1: Consider system (1), the extended state esti-
mator (9), and controller (20). Suppose Assumptions 1 and 2
hold and γ > K1. Then the output-voltage tracking error is
globally uniformly ultimately bounded to a ball Ω(r) centered
at Vref with a radius r

r =
1

(γ −K1)

[
δ

K3

(
1 +

γ

K2

)]
(25)

with a decay rate (γ −K1).

Proof: Substituting (e1 − ẽ1) for ê1, (e2 − ẽ2) for ê2 in
equation (19) and solving for e1 yields

e1 = −(γ −K1)e2 + ẽ1 + γẽ2 + σ (26)

Using e1 = v̇c and e2 = vc − Vref into (26) yields the
following dynamic equation

v̇c(t) + (γ −K1)(vc(t)− Vref) = ẽ1(t) + γẽ2(t) + σ (27)

Applying the integration factor e−(γ−K1)t and invoking the
triangle inequality yields:

|vc(t)− Vref| ≤ |e2(0)|e−(γ−K1)t +
∫ t

0
e−(γ−K1)(t−τ)[|ẽ1(τ)|

+γ|ẽ2(τ)|+ |σ(τ)|]dτ.
(28)

Since lim supt→∞ |σ(t)| = 0, substitution of (17) gives

lim sup
t→∞

|vc(t)−Vref| ≤
1

γ −K1

[
δ

K3

(
1 +

γ

K2

)]
= r. (29)

and consequently, vc is uniformly convergent to a ball centered
at Vref with a radius r given by (25) and a decay rate (γ−K1).

D. Boundedness of the Line Current

For each phase j = 1, 2, the physical inductor-current
equation is

i̇Lj
= −

RLj

Lj
iLj

− (1− u)
vc
Lj

+
E

Lj
(30)

Under Assumption 2, the implemented duty ratio satisfies
0 < u < 1, t ≥ 0 and is therefore bounded. Furthermore,
Theorem 1 establishes that the output voltage vc(t) is bounded.
Assuming that the input voltage E(t) is bounded then we can
define

Fj = supt≥0|E(t)− (1− u(t))vc(t)| (31)

and we have

|iLj | ≤ |iLj (0)|e
−

RLj
Lj

t
+

Fj

RLj

[
1− e

−
RLj
Lj

t

]
(32)

Therefore,

|iLj
| ≤ max(|iLj

(0)|, Fj

RLj

(33)

and since iL = iL1
+ iL2

it follows:

|iL| ≤ max

(
|iL1

(0)|, F1

RL1

)
+max

(
|iL2

(0)|, F2

RL2

)
(34)
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and the line current is bounded.

Remark 3: Let the τo = RoCo be the nominal time constant
of the open-loop system with a decay constant ao = τ−1

o . In
view of (9), (17) and (24), a possible general guideline for the
choice of the controller and estimator gains is:
1) Choose K1 = mao, with N1 ≤ m ≤ N2.
2) Choose γ = 1.25K1.
3) Choose K3 =

K2
1

4 to ensure a critically damped dominant
subsystem with two identical real dominant poles at −K1/2.
4) Choose K2 = 5

√
K3 to ensure that the third non-dominant

pole is at −5K1/2, which sits exactly five times further to the
left in the complex plane.
5) If the performance is not adequate, increase m in step 1
and repeat.
To determine N1 and N2, the control loop crossover and
estimator bandwidth must be kept well below the Nyquist
frequency of fs/2, where fs is the switching frequency. As a
general rule we use the non dominant 5K1/2 pole which is
the highest frequency dynamic tracked by the estimator to be
fs/10 and this gives us

5K1

2
=

5aom

2
≤ 2πfs

10
=⇒ m ≤ N2 ≤ πfs

12.5 ao
(35)

As a conservative baseline we can start at N1 = 5.
To make the dominant estimator dynamics faster than the
nominal voltage-error dynamics, choose

γ −K1 =
K1

4
=⇒ γ = 1.25 K1 (36)

This selection makes the dominant estimator poles twice as
fast as the nominal voltage-error pole, providing a bandwidth-
separation factor of two.

For the choice of the gain K4, there is a trade-off between
a large value for fast manifold recovery rate and aggressive
duty-ratio behavior, or a small value to smooth the transient
control effort and prevent aggressive chattering during sudden
voltage reference steps but slower manifold recovery rate.

III. SIMULATION RESULTS

A. Case 1: Performance analysis of the proposed estimator.

The extended state estimator is tested using the averaged
model and the switched model of the IBC. The switching
frequency for the sampled model is fs= 100 kHz. Using the
uncertain parameters of Table 1 and Remark 3, as a general
guideline, yield N2 = 100 with a baseline N1 = 5. Please
note that the only parameters known to the controller for its
implementation are the nominal input voltage, the nominal
leg inductors, the nominal capacitor and the nominal load
resistance listed in Table 1. For a choice of m = 30 the gains
of the estimator/controller parameters are:

K1 = 7.5× 103, γ = 9.375× 103, K2 = 18.750× 103,
K3 = 14.0625× 106, K4 = 103

(37)
The initial conditions of the state extended estimator are
q1(0) = 0, q2(0) = 0 and q3(0) = 0.

The nominal specifications, asymmetric physical parameters
of the interleaved legs, and the calculated controller/estimator

gains are summarized in Table 1.

TABLE I
SYSTEM SPECIFICATIONS AND ASYMMETRIC PARAMETERS

Parameter Description Symbol Value (Nominal / Actual)
Input Voltage E 50 V / 60 V
Reference Output Voltage Vref 100 V / 100 V
Nominal Capacitor C 200 µF/140 µF
Nominal Load Resistance R 20 Ω / 26 Ω
Switching Frequency fs 100 kHz / 100 kHz
Phase Leg 1 Parameters
Phase 1 Inductance L1 76 µH / 114 µH
Phase 1 Resistance RL1 0.1 Ω / 0.20 Ω
Phase Leg 2 Parameters
Phase 2 Inductance L2 76 µH / 117 µH
Phase 2 Resistance RL2 0.1 Ω / 0.30 Ω
Controller & Estimator Gains
Estimator Gain K1 [7.5×103]
Estimator Gain K2 [18.750×103]
Estimator Gain K3 [14.0625×106]
Sliding Control Gain K4 [103]
Sliding Surface Design Parameter γ [9.375×103]

Using the averaged model, Fig.2(a) shows the damped
output response vc(t) reaching the reference voltage Vref with
zero steady-error. Figure 2(b) shows the perfect estimation of
the lumped uncertainty with zero-steady tracking error. The
steady-state of the estimate is d̂ ≃ 8.05× 109.

Using the switched model, Fig. 3(a) shows a similar damped
output response as the averaged model case with zero steady-
state error. Figure 3(b), depicts the lumped disturbance d and
its estimate d̂. In this case, there is a substantial steady-state
error between d and its estimate d̂. This is due to the fact
that the switched model introduces inevitable high-frequency
switching pulses. Despite the estimation error, the estimator
still yields the same steady-state estimate d̂ ≃ 8.05 × 109

used in the implementation of the controller. This is a valida-
tion of the estimator noise-rejection capability. The estimator
successfully rejects the high-frequency switching ripple while
maintaining tight tracking of the true average disturbance
baseline.

B. Case 2: Robustness to Step Load and Input Voltage
Changes under Severe Phase Asymmetry

To evaluate the controller’s capability to handle acute pa-
rameter imbalances alongside external line and load distur-
bances, the interleaved boost converter is subjected to severe
hardware asymmetries as detailed in Table I. Crucially, the
phase parameters are heavily mismatched (L1 = 114µH
vs. L2 = 117µH, and RL1 = 0.2Ω vs. RL2 = 0.3Ω),
establishing a highly unbalanced baseline operation. At time
t = 0.2 s, a step load resistance change of −10Ω is applied,
followed by a +10Ω step recovery at t = 0.4 s. Furthermore,
line voltage step disturbances of −5V and +5V are injected
at t = 0.6 s and t = 0.8 s, respectively.

The simulation is carried out utilizing the sampled switch
model operating at a switching frequency fs = 100 kHz. Fig.
4(a) illustrates the time-domain performance of the output
voltage vc(t). Despite the simultaneous presence of severe
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structural asymmetries and step and input voltage changes, the
output voltage tightly tracks the reference voltage with zero
steady-state error, negligible settling time, and zero overshoot.
The proposed controller is not intended to enforce equal
phase-current sharing. Under balanced component conditions,
the interleaved topology naturally promotes approximately
equal current sharing. Under parameter asymmetry, an un-
equal current distribution may occur, as illustrated in Fig. 4.
Nevertheless, both phases continue to contribute to the total
input current, and the proposed sensorless controller maintains
accurate output-voltage regulation without individual phase-
current measurements or an additional current-balancing loop.
The proposed extended state estimator seamlessly captures
the asymmetric current divergence within the single lumped
uncertainty state d(t). Despite this imbalance, interleaving
cancellation still functions effectively: individual phase rip-
ple is 2.08 A, while the total combined input ripple drops
significantly to just 0.640 A.

C. Case 3: Robustness to time-varying load resistance with
noise, the uncertain parameters of Table 1 and parasitics given
in (38).

To assess the robustness of the proposed controller against
the noise-contaminated measurements of the output voltage,
a band-limited white noise with a noise power of 6.25 ×
10−8 V2/Hz and a sampling time of 1µs is added to the output
voltage to produce a 250 mVRMS (0.0625 V2 variance). To
align with the overall system simulation step size of 1 µs, the
block noise sample time is set to 1 µs. Assuming a standard
3σ statistical bound, this corresponds to a practical peak-
to-peak noise voltage of 1.5 Vp-p on the 100 V DC output
rail. In addition to the noise, we assume that the converter
is subjected simultaneously to the uncertain parameters listed
in Table 1, to the parasitics given in (37) and to the time-
varying load resistance R shown in Fig. 6(a). Besides the
inductor resistances listed in Table 1, the other parasitics of
the converter are:

RDS1
= 0.02 Ω, VD1

= 0.6 V, RD1
= 0.3Ω

RDS2
= 0.04 Ω, VD2

= 0.5 V, RD2
= 0.35Ω

RC = 0.2Ω
(38)

where the unknown parameters RDSi
, RDi

, VDi
, i = 1, 2 and

RC represent the MOSFET on-resistance, the diode forward
resistance, the conducting voltage of the diode and the ca-
pacitor equivalent series resistance, respectively of the two
parallel-connected boost converter stages. Figure 6 depicts the
time-varying load resistance, the contaminated output voltage
vcn(t) used for the measurements and the output voltage vc(t).
Figure 7 depicts the switching surface σ, the duty ratio u
and the disturbance d and its estimate d̂. As seen, the output
response tracks the reference voltage with zero steady-state
error and rejects much of the high-frequency noise due to
the design of the estimator and the choice of its gains.The
estimator also behaves like a continuous low-pass filter that
ignores the fast switching ripples and noise of the lumped
disturbance d and tracks the true average DC baseline of the
estimated disturbance which in this case is d̂ = −9.9694×109

as seen in Fig. 7(c). As these simulations show, the proposed

controller is robust to noise, parameter uncertainties, parasitics
and time-varying external disturbances.

Fig. 2. Case 1: (a) Output voltage. (b) Zoomed depiction of the disturbance
d in black and its estimate d̂ in red using the averaged model and uncertain
parameters listed in Table 1.

Fig. 3. Case 1: (a) Output voltage. (b) Zoomed depiction of the disturbance d
in black and its estimate d̂ in red using the switched model and the uncertain
parameters listed in Table 1.
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Fig. 4. Case 2: (a) output voltage response. (b) Line current iL in blue, phase
currents iL1

in black and iL2
in red. (c) zoomed depiction of the line and

phase currents.

Fig. 5. Case 2: (a) sliding surface σ. (b) Duty ratio u.

IV. CONCLUSION

This paper presents a PWM-based, current-sensorless
robust sliding mode controller for the interleaved DC-DC
boost converter, requiring only a single sensor for output
voltage measurement. An extended state observer successfully
estimates the derivative of the output voltage along with
a lumped uncertainty signal that accounts for changing
load resistances and input voltages, parametric variations,
and circuit parasitics. A linear sliding surface is used
to derive the control law. The proposed controller has a
straightforward structure and a systematic parameter-tuning
procedure. Simulation results validate that the system achieves

Fig. 6. Case 3: (a) Output voltage vc(t). (b) Noise contaminated measured
output voltage vcn(t). (c) Actual output voltage vc(t).

Fig. 7. Case 3: (a) Switching surface σ. (b) Duty ratio u. (c) Disturbance d
in black and its estimate d̂ in red.

excellent disturbance suppression and dynamic compensation
capabilities despite the complete absence of inductor current
feedback. Future work will focus on the experimental
validation of these theoretical and simulation results.
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